In a well designed multi-stage axial flow compressor the flow quickly settles down to a repeating condition in which the flow angle and axial velocity profiles do not deteriorate further; they are more or less unchanged between entry to and exit from a deeply embedded stage.
INTRODUCTION
In axial flow compressors it is observed (e.g. Smith, 1970) that after a few stages the flow repeats from the entry to the exit of the stage. Not only do the axial velocity profiles remain substantially unchanged but the perturbations in flow angle are also unaltered.
In a recent paper (Horlock, 1994) inviscid secondary flow analysis was used to derive the flow angle perturbations which occur in the endwall regions at exit from the blade rows of a deeply embedded compressor stage. By tracing the streamwise vorticity through the rotor and stator, taking account of the change in frame of reference and imposing the repeating condition (vorticity identical at stage entry and exit), it was possible to derive those streamwise vorticities as functions of the vorticity perpendicular to the mainstream flow. The perturbations in flow angle near the annulus walls followed from approximate solution of Poisson-type equations for the secondary stream functions. It was found that generally, for moderately loaded rows, the flow should underturn (compared with the 2D cascade performance) near the annulus walls. This is because the streamwise vorticity due to skew in the relative flow at entry to a blade row exceeds the "conventional" secondary vorticity which is generated within it (which would by itself lead to overturning at the endwalls). However, comparison of these inviscid predictions with experimental data proved inconclusive. Birch (1984) has used modern 3D numerical methods to compare inviscid and viscous computations of the secondary flows in the stator of a single stage. He found that the inclusion of viscosity quickly reduced the inlet skew and hence the underturning that was predicted by inviscid calculations (which correspond more closely to classical secondary flow analysis).
In recent years there has been much discussion of whether spanwise mixing takes place due to the secondary flows or by dissipative turbulent diffusion (see Gallimore and Cumpsty, 1986 , for example). Wisler et al. (1987) subsequently concluded that both effects are present. Later, Leylek and Wisler (1991) suggested that geometrical configuration and aerodynamic loading would control the relative strengths of the two, but that secondary flow induced mixing was stronger near the annulus walls. It may therefore be argued that analysis of the secondary flows remains important. However, while the inviscid analysis of the earlier paper (Horlock, 1994) may give some understanding of the secondary flow effects in a repeating stage, it is unlikely to lead to accurate prediction of the angle perturbations and fully three-dimensional viscous calculations should be used to investigate the phenomenon.
In this paper, therefore, Navier-Stokes solvers are used to calculate the flow in repeating stages for comparison with experimental data obtained by McKenzie (1956) and by Howard et al. (1994) . The purpose is three-fold: (i) to establish whether steady flow 3D Navier-Stokes solvers can reliably predict the complex flow in such stages; (ii) to investigate further the effects of viscosity on the secondary flows in the repeating stage environment; (iii) to deduce whether there are any general rules for over-or undertuming to take place near the annulus walls.
THE TEST COMPRESSORS

The McKenzie Compressor
The four-stage Rolls-Royce axial compressor first used as a model for the embedded stage is described in a general paper by McKenzie (1980) . The experimental data used here is detailed in an unpublished Rolls-Royce report (1956) , reproduced partially in the earlier paper on repetitive secondary flows (Horlock, 1994) . Essentially, the flow "repeated" after the first stage stator.
The compressor was low-speed, having a rotational speed of 6000 rev/min on a mean radius of 0.160m, giving a mean blade speed of about 100 m/s. Consequently, the relative Mach numbers were low (less than 0.3) and the flow was virtually incompressible. The hub-casing ratio was 0.8; the blade chord was 1.78 cm and the aspect ratio was 2.0. The blades were of a constant section C5 profile on a circular arc 20° camber line, placed at a constant stagger of 50°. The pitch-chord ratio was 0.942 at the mean radius and the rotor tip clearance and stator hub clearance were both 0.0635 cm, 1.8% of the blade height (or 3.6% of the constant blade chord). The hub rotated along the length of the machine. Pitchwise-averaged values of absolute stagnation and static pressures and (tangential) flow angle were obtained with calibrated cylindrical three-hole probes.
The Reynolds number (Re) of the flow based on true blade chord was about 105, which is quite low and around the value at which cascade tests show losses increasing quite rapidly. Indeed, stage efficiencies were observed to be less than 80%.
The Cranfield Compressor
The mechanical details of the Cranfield 4-stage low-speed research compressor (LSRC) are described in detail by Robinson (1991) . Briefly, the machine is of 0.85 hub-casing ratio and consists of four stages of identical blading with inlet guide vanes (IGVs) designed to give a radially constant swirl angle of 23.5°a way from endwall regions. Outlet guide vanes (OGVs) remove the swirl at the exit from the fourth stage. The stators are cantilevered and the hub rotates underneath them. The rotational speed is 850 rev/min and the mid-height radius is 0.564m, giving a mid-height blade speed of 50.2 m/s, and a stage 3 measured inlet relative Mach number of 0.14. Details of the blade geometry are given in Howard et al. (1994) . The blades are of a modem controlled-diffusion type with camber-line and thickness distributions specified to achieve a desired non-dimensional velocity distribution typical of a highspeed design. The chosen aspect ratio and solidity are typical of modem HP compressor geometries and the choice of near 50% reaction at mid-height gives similar rotor and stator Reynolds numbers of around 2.2x105 based on chord and inlet relative velocity at mid-height.
The axial gaps of around 45% chord are much smaller than those of the McKenzie compressor and are more nearly representative of current design practice. Rotor tip clearances were varied during the test schedule, but the largest tip clearance of 3% chord was selected as the subject of the calculations described herein. A stator hub clearance of 2.4% chord was employed during all tests and the hub rotated along the length of the machine, between IGV inlet and OGV exit.
The third stage is the main study stage, the first two serving to condition the flow into repeating multi-stage behaviour and the fourth stage to provide representative outlet conditions. Data were taken to define conditions in the first and third stages using cobra and wedge pneumatic probes. Pitchwise traversing was achieved by rotating the casing relative to the stator rows.
Efficiency and pressure rise characteristics were also obtained using a calibrated airmeter, torqueshaft and verniered Kiel rakes behind the IGVs and in front of the OGVs. Dawes (1987) and Denton (1992) have given comprehensive descriptions of the Navier-Stokes solvers that they have developed for the calculation of turbomachinery flows. The Reynolds-averaged Navier-Stokes momentum, continuity and energy equations are solved iteratively using second order accurate time-marching algorithms. The grids are set up in the physical plane with the blade geometry prescribed on either cylindrical surfaces or arbitrary streamwise surfaces. Grids are defined by interpolating between the input blade sections. Since details of the flow at the endwalls were sought, fine grids had to be used near the annulus walls.
THE METHODS OF CALCULATION
In both codes a simple mixing length turbulence model is employed. Dawes (1990) has shown that while a more sophisticated two equation (k-c) model for the turbulence gives somewhat improved detail of the flow, the loss predictions are similar. Essentially this is because the two models use the same turbulence length scale distribution, leading to similar eddy viscosities deep in the boundary layers where most of the losses are generated. The Dawes code uses the Baldwin-Lomax (1978) mixing length turbulence model. The Denton code uses an even simpler approach. It is assumed that the first grid point away from the solid surface lies either in the laminar sub-layer or, more likely, in the logarithmic region of a turbulent boundary layer. For this latter case, Denton (1992) uses an empirically derived explicit expression for skin friction coefficient as a function of Reynolds number based on velocity and distance from the wall at the first grid point off the surface.
The no-slip condition is therefore not applied at the wall which gives a significant saving in grid resolution. Shear stresses at points off the wall are obtained from the simple mixing length model: I = 0.41y where 1 is the mixing length and y is the perpendicular distance from the nearest wall. The mixing length is "cut off' at a distance from the wall specified by the user (typically 2% of blade pitch) and the value of the mixing length at this cut-off point is maintained in the free-stream (i.e. the mixing length is not set to zero), thereby introducing a numerical mechanism for modelling turbulent diffusion. The mixing length behind a trailing edge is set by the user and remains constant.
A feature of both solvers is the simple way in which they deal with tip clearance. The thickness of the blade is "pinched down" to zero over a small number of grid points near the real tip section and a periodic boundary condition is applied within the clearance gap at the apex of the pinched tip. In the applications described here, when the program is applied to a rotor, the outer annulus wall is allowed to remain stationary. For the flow through the stator, the inner annulus wall can be allowed to rotate. Thus, not only can clearance flows be included in the full calculations, but also "scraping" vorticity effects.
It is recognised from the work of Storer and Barton (1991) that the "pinched tip" technique for clearance simulation used in both the Navier-Stokes codes employed in this investigation is not ideal for low-speed models of high-speed blading (such models are made thicker to compensate for lack of density change). The ratio of tip thickness to radial clearance for low-speed blades is such that reattachment of the separated shear layer formed at entry to the clearance gap is likely to occur and the flow cannot be treated as an inviscid jet as it can for the real high-speed blading. Consequently, detailed loss mechanisms in the clearance regions are not likely to be modelled properly. However, unless the local flow is stalled or near stall (as was found subsequently near the stator hub in the McKenzie compressor), the overall flow should be adequately predicted.
A Dawes Code Calculation for the McKenzie Compressor
Calculations were first made of the flow in the McKenzie compressor. Although it was realised that the McKenzie (1956) data was inferior to that of Howard et al. (1994) it appeared to show evidence of the undertuming close to the annulus walls anticipated by Horlock (1994) , so a preliminary analysis was performed using the Dawes single blade row code using relatively coarse grids (53 streamwise nodes, subsequently increased to 91, 31 radial nodes and 17 pitchwise nodes).
The program was used in two steps. Firstly, for the embedded stage rotor, calculations were performed between an observed flow condition one axial chord upstream of the rotor (assumed at radial equilibrium) to an unknown (assumed at radial equilibrium) condition one axial chord downstream. Secondly, from this calculated rotor exit flow condition (now pitchwise averaged and assumed to be one chord upstream of the stator) calculations were performed to find the unknown flow condition one chord downstream of the stator. This method of solution effectively prescribes the axial clearance between rotor and stator to be two axial chord lengths; the actual axial clearance was indeed close to this value -1.7 axial chord lengths, which is much greater than a typical modem compressor.
At the selected flow coefficient the observed radial distribution of absolute stagnation pressure and absolute swirl angle downstream of the second stator of McKenzie's four-stage compressor were prescribed as data input for the calculation. The static pressure downstream of the rotor (at the hub) was given a guessed value and the calculated mass flow compared with the target (measured) value. The calculation was repeated with a new guessed rotor hub static pressure until the desired and calculated mass flows were virtually identical. The calculated rotor exit absolute stagnation pressure and absolute flow angle (both now pitchwise averaged) were then used as inlet conditions for the calculation of the flow through the following stator. Again, the exit static pressure at the stator hub was iterated to give the correct mass flow.
The results of this preliminary work are briefly described below in Section 4.1.
A Denton Code Calculation for the Cranfield Compressor
Multi blade row versions of both the Dawes and Denton Navier-Stokes codes have been available for several years, enabling a full repeating stage to be calculated in one computation. Denton's method includes a "flux extrapolation" mixing plane treatment dealing with the transfer of flow from one blade row to the next (Denton, 1992) . The advantage of this type of inter-blade row averaging is that for machines with small axial gaps, a circumferentially uniform inlet boundary condition is not imposed too close to the blade row, so leading edge loading of the downstream blade row can be calculated more accurately. Small pitchwise total pressure gradients in the free-stream are sometimes introduced at the mixing plane which clearly have no physical origin and may affect the calculation of stage efficiency. These gradients manifest themselves as vorticity in the same sense as the blade generators and hence change the blade circulation slightly. This effect can be minimised by a reduction in grid spacing between blade rows although the calculated stage efficiency is compromised to a much greater extent by the assumption of fully turbulent boundary layers throughout the calculation domain. (In reality, significant portions of laminar flow do exist on the blade surfaces).
To attempt to calculate accurately the repeating nature of the flow within a multi-stage environment, it is necessary to model closely the inlet and exit boundary conditions. Most importantly, the prescribed static pressure field at stage inlet and exit must attempt to simulate the measured (or deduced) static pressure field from the experimental data.
In a real machine with small axial gaps, the subsequent rotor row has a major influence on the meridional streamline curvature leaving a stator and the exit boundary conditions for the real stator are therefore substantially different from those of radial equilibrium in a duct with no downstream blade rows. The 
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40 frequent observation that the rotor in an isolated blade row calculation behaves differently from when it is part of a multiblade row calculation with a downstream stator (see, for example, Dawes, 1992 ) is largely due to this effect.
Consequently, the sensitivity of the embedded (third) stage calculation to exit boundary conditions has been assessed by performing both a single stage and a one-and-a-half stage calculation where the presence of a downstream rotor blade row (rotor 4 in the Cranfield LSRC) has been included.
The inlet static pressure field is essentially fixed by the use of experimental data (absolute total pressure, absolute flow angle and meridional pitch angle) and the setting of a calculation domain exit casing static pressure to achieve a desired mass flow. Behind the last blade row, the flow is assumed to be in radial equilibrium and the streamline curvature adjusts itself to obey the radial equilibrium equation for swirling flow in an empty duct.
Howard et al. used experimentally measured area traverse data to derive radial profiles of total pressure and absolute swirl angle using the "mass and momentum" averaging technique recommended by Dring (1989) . These profiles were fed into a throughflow calculation and corrections were made to the total pressure profiles, to account for the effects of unsteadiness associated with using a stationary probe behind a rotating blade row, and to the swirl angles behind the rotor such that the deduced stage efficiency matched that obtained from torqueshaft measurements.
Here, iterative calculations of the deeply embedded third stage were undertaken using the Denton code until calculated radial distributions of rotor inlet absolute total pressure and absolute swirl angle (the quantities directly measured) at the same axial position as the traverse plane were virtually identical to those measured using a cobra probe at entry to the repeating stage.
To investigate the effects of viscosity on inlet skew, an Euler calculation was also performed (on the 1.5-stage grid only). The inviscid calculation inlet conditions were identical to the viscous inlet conditions at the first axial station, but slightly different at the traverse plane axial position, (axial station 6 shown later in Figure 4 ).
The single stage grid consisted of 202 streamwise x 37 radial x 37 blade-to-blade nodes with cells concentrated near solid surfaces and expanded away from these surfaces at less than the recommended maximum ratio of approximately 1.3 (from one cell to the next). Four cells were used in the clearance regions of rotor tip and stator hub. The 1.5-stage grid consisted of 303x37x37 nodes.
To improve the speed of convergence of the time-marching algorithm, the rotor inlet relative Mach number in the calculation was increased to 0.3 with little anticipated effects of compressibility. The casing static pressure at exit to both calculations was initially guessed and then improved until the calculated mass flow matched that observed experimentally.
The results of the Denton code calculations are given below in Section 4.2. Initial calculations were carried out with zero radial clearance assumed at both rotor tip and stator hub, for Re = 10 5 . The calculated axial velocity profile at exit from the rotor was flatter than the experimentally observed distribution (in which the axial velocity increased with radius) and the annulus wall boundary layers were thinner. The calculated flow at exit from the stator (again with zero clearance specified and the calculated flow from the rotor as input), was also compared with experiment. Errors in prediction then became substantial, low deflection near the stator hub suggesting a local incipient stall.
Firstly, it was thought that the calculations might be showing the type of flow usually observed at such a low Reynolds number -i.e. early separation from the blades (the stator hub in particular) The calculations were therefore repeated at higher Reynolds numbers, it being arbitrarily assumed that the effect of high freestream turbulence in the machine might be to increase the Reynolds number to a so-called "effective" Reynolds number. Tripling Re showed virtually no change in the rotor flow but some effect in the stator, mainstream deflections more nearly approaching design values.
Next, allowance for clearances was introduced into the calculations, at the rotor tip (casing) and the stator hub. For the rotor at Re = 105 the initial calculation (with no clearance) was compared with a calculation including the effects of clearance. Figure I shows the relative swirl angles at exit from the rotor; the effect of clearance is to amplify the underturning near the outer casing (but to increase the deflection further inboard) and to thicken the annulus wall boundary layer. This is similar to the effect observed by Hunter and Cumpsty (1982) and Inoue et al. (1985) . It is also of interest to note that the calculated effect of tip clearance on angle change is felt well beyond the clearance region itself -the rotor blade tip is located at 98.2% annulus height. This is in line with the conclusions of Adkins and Smith (1982) , based on the experimental work of Lakshminarayana and Horlock (1965) , as opposed to the calculations of Chen et al. (1991) , which suggested relatively little inward disturbance beyond the blade tip itself. The observed trend of increasing relative outlet angle with radius is predicted, but the calculated overall rotor deflection is greater than that observed. However, the absolute values of rotor exit relative swirl angles given by McKenzie are open to question as they rely on accurate measurement of static pressure (and hence axial velocity) in conversion of the observed absolute flow angles to relative ones.
The stator calculations with hub clearance also showed the outlet air angles increasing very near the hub and the axial velocity dropping sharply. Figure 2 (for Re = 3x10 5 ) illustrates the effect of hub clearance; the high outlet angles compared with design values suggest the stator hub is still close to stall, even at this higher Reynolds number.
The calculated axial velocities through the nominally repeating stage for an "effective" Reynolds number of 3xl0 5 with allowance for clearances are compared with experimental data in Figure 3 observed, but the profile prediction at stator exit is poor, being much steeper than that measured. It was concluded that the underturning observed at the stator hub in McKenzie's compressor (essentially based on a measurement at a single radial location) was more likely to be due to incipient local stall than any inviscid secondary flow effects. In view of this, it was decided to concentrate on predicting with the
FIGURE 4-MID-HEIGHT BLADE-TO-BLADE VIEW OF DENTON CODE 1.5 STAGE CALCULATION MESH
Denton multi-stage code the apparently unstalled flow in the Cranfield LSRC reported by Howard et al. (1994) for which the experimental data was much more comprehensive and reliable.
Denton Code -Detailed Calculations of the Cranfield Compressor
The blade-to-blade computational mesh at mid-height for the one-and-a-half stage calculation is shown in Figure 4 . Cells were concentrated near the blade row leading edges to improve definition of the leading edge circle and avoid any unnecessary numerical entropy generation due to the skewed grid in this region. The single stage calculation mesh was identical to the 1.5 stage mesh up to the stator trailing edge, the cells thereafter being expanded to the exit of the calculation domain in a manner similar to that of rotor 4 in Figure 4 (although several more cells were used to reduce expansion ratios to well below the recommended maximum of around 1.3).
The single stage calculation converged from an initial guess to within 0.001% tolerance on velocity change and mass flow error within around 6000 timesteps, taking typically 13 hours on an IBM RISC Model 41T workstation (depending on other processes running concurrently). Restarting from a previously converged solution at a different flow coefficient typically took 2500 timesteps to reach the same convergence criteria. The 1.5-stage calculation typically took 15 hours to converge from a previous solution at a different flow coefficient. Figure 5 shows a comparison of the stage 3 pitchwise area averaged stator exit mass flux profiles from the single and 1.5-stage calculations. Although not perfect, the 1.5-stage calculation showed some improvement over the single stage calculation, with more flow being drawn through the stator hub, reducing the blockage and giving better agreement with the measured axial velocity profile over the majority of the annulus height. (This will be illustrated later in Figure 10 ). It was therefore decided to use the 1.5-stage calculation for detailed comparison with test data.
Third stage rotor inlet and exit relative swirl angles for the 1.5-stage calculation are compared with experimental data in Figure 6 . 
FIGURE 6-COMPARISON OF CALCULATED AND MEASURED ROTOR RELATIVE SWIRL ANGLES
Close agreement of the inlet profile with experiment is guaranteed as experimental values of absolute swirl angle were used as inlet conditions to the calculation. Small discrepancies in the inlet relative swirl between experiment and calculation are due to differences in the static pressure field between the (assumed) radial equilibrium profile deduced from the experimental throughflow synthesis and the static pressure field calculated from the 3D code which includes effects such as the potential field associated with leading edge loading. Despite these small discrepancies, inlet skew is modelled accurately. Rotor exit conditions are predicted reasonably well. At the rotor hub, the three-dimensional corner "separation" implied by the experimentally deduced total pressure loss coefficient and the small region of underturning around 15% height are not well predicted by the calculation. (The word "separation" is used loosely in this context as there is no way of knowing from the experimental data presented by Howard et al. (1994) whether there is reverse flow on the rotor surface or simply a collection of the low energy endwall boundary layer fluid on the blade surface due to conventional secondary flow. Howard (1994) points to strong circumstantial evidence, however, that the flow was indeed reversed at the rotor hub). Computed secondary velocity vectors at exit from the rotor shown in Figure 7 indicate the tendency of the hub endwall boundary layer fluid to migrate towards the suction surface as a result of the cross-passage pressure gradient set up by the free-stream, but there is little or no evidence of this causing the classical secondary flow induced hub corner "separation" so often seen experimentally. The overturning predicted close to the hub endwall is more severe than experimental data suggests, although it must be borne in mind that measurements only exist between 1% and 99% annulus height.
(Secondary Velocity Direction Defined as Perpendicular to Local Blade-to-Blade
Quasi-Streamline)
FIGURE 7-SECONDARY VELOCITY VECTORS AT STAGE 3 ROTOR TRAILING EDGE
At the rotor tip, the streamwise vorticity associated with the inlet skew is reinforced by the tip leakage flow and is little opposed by any secondary flow generated by deflection in the low camber blading. Underturning is therefore predicted to about 15% immersion, similar to experimental data. The calculated magnitude of the underturning is greater than the experimental measurements, although agreement in Figure 6 
FIGURE 8-COMPARISON OF CALCULATED AND MEASURED STATOR ABSOLUTE SWIRL ANGLES
The accuracy of the prediction of the inlet conditions to the stator is to a large extent dependent on the calculation of the flow in the rotor. Figure 8 shows the stage 3 stator inlet and exit swirl angles compared with experimental data. Agreement around midheight is quite good considering the inevitable discrepancies between calculated and predicted blockage levels due to the rotor viscous endwall flows. The stator in the calculation receives much larger inlet skew at the endwalls compared with experimental data, especially at the casing. A consequence of the increased inlet skew is that predicted underturning at the cantilevered stator hub is more severe than in the experiment and there is also no real evidence of the overturning at around 15% annulus height shown by the experimental data. Figure 9 shows calculated secondary velocity vectors at stator exit, hinting that at the casing a three-dimensional comer separation may be present, leading to the slight underturning around 92% height and overturning closer to the casing endwall evident from the radial profiles. (In this context, the word "separation" is used in its more correct sense, since the calculation does predict reverse flow on the blade surface). The measured radial profiles show only small signs of the underturning near the casing predicted by the calculation although total pressure contours presented by Howard et al. (1994) do indeed show a region of low total pressure indicative of a separation in this region.
Comparisons of calculated and measured sta e inlet and exit axial velocity and absolute swirl angle are presented in Figure 10 . Overall, agreement is quite reasonable and although the 1.5-stage calculation does not repeat as well as experimental data, the regions of discrepancy are similar to those present in the experimental data. 
FIGURE 9-SECONDARY VELOCITY VECTORS AT STAGE 3 STATOR TRAILING EDGE
but by the rotor leading edge, viscosity has reduced the inlet skew at the hub significantly. Through the blade passage, the (already reduced) inlet skew in the viscous calculation is quickly overcome by the conventional secondary flow generated by the forward-loaded blading turning the incoming shear layer. The flow is therefore predicted to overturn close to the hub endwall relative to a 2D cascade analysis. The Euler calculation also shows a reduction in inlet skew due to conventional secondary flow within the blade passage, but this secondary flow is not strong enough to cancel the inlet skew and so underturning close to the hub endwall is predicted from the inviscid analysis. At the rotor tip, both viscous and inviscid calculations predict underturning as the inlet skew and the tip leakage flow both have streamwise vorticity in the same sense and act to reinforce each other. Figure 12 shows computed secondary velocity vectors for the inviscid calculation at rotor exit. It can be seen when compared with the viscous calculation shown in Figure 7 that the dominance of the inlet skew at the hub gives flow in the opposite direction to the viscous calculation, similar to the stator calculations of Birch (1984).
DISCUSSION
The preliminary calculations using the Dawes single blade row code served to illustrate the nature of the complex interactions of Reynolds number effects and clearance flows for the stator hub of the McKenzie compressor which was probably close to stall. However, as the data of Howard et al. is far superior to that of McKenzie both in terms of resolution and accuracy we shall concentrate our discussion on the prediction of flow through the Cranfield 4-stage LSRC.
The initial calculations of the flow through stage 3 were performed using just the single stage mesh and a back pressure was specified at the exit to the mesh. Upon examination of the converged solution it was noticed that the region where agreement with experimental data was worst was the stator hub. The sensitivity of the solution to the "pinching" of the tip to model the clearance was assessed but little change was evident from modifying the way the thickness was reduced to zero over a small number of cells. calculation and experiment at the stator hub was thought to be the meridional streamline curvature differences. Inviscid throughflow calculations of both the 4-stage machine and the third stage alone in the same length of duct were performed. It was soon evident that the streamline curvatures at stator 3 exit were significantly different between the two calculations. To investigate this further, the 4th stage rotor was included in the 3D calculation and the casing exit static pressure behind rotor 4 iterated to achieve the desired mass flow. In hindsight, the rotor 4 mesh did not have to be as fine as that for the stage 3 blading as rotor 4 only served to provide the necessary exit boundary conditions for stator 3. Considering the simplicity of both the tip clearance and turbulence models, agreement with the test data is quite reasonable. The results reinforce the conclusion of Howard et al. that steady Navier-Stokes solvers still have a lot to offer in terms of predicting the flow within the deeply embedded stage. They are useful as an approximation to the real (unsteady) flow without resorting immediately to more expensive unsteady 3D methods. By carrying out such calculations of flows being measured experimentally an insight into the three-dimensional viscous endwall effects can be obtained in areas where it is difficult or impractical to take experimental data.
The inability of the code to predict the hub comer "separation" on the rotor is thought to be partly due to the simplicity of the mixing length turbulence model but it may also be affected by the pitchwise-averaging process. The unsteady nature of the stator hub clearance vortex from the preceding (stage 2) stator is lost in the area traversing with pneumatic probes and the further 'smearing' of the vortex flow by pitchwise averaging (albeit using the more physical mass and momentum method) may cause the (Secondary Velocity Direction Defined as Perpendicular to Local Blade-to-Blade Quasi-Streamline) FIGURE 12-SECONDARY VELOCITY VECTORS AT STAGE 3 ROTOR TRAILING EDGE FROM INVISCID CALCULATION rotor in the calculation to see less severe inlet conditions than experienced in the real machine. The Denton method does not enforce the no-slip condition at solid surfaces so the wall velocities were non-zero. With experimental data existing to within 1% of annulus height from the endwalls, the extrapolation of the rotor inlet absolute total pressure to the endwall has negligible effect on the tendency of the endwall boundary layer to cause a rotor hub "separation". Inviscid secondary flow analysis (Horlock, 1994) and 3D inviscid calculations (Birch, 1984) blading. Clearance flows at rotor tips and stator hubs also tend to reinforce such underturning. However, for high deflection blading, conventional secondary vorticity growth may tend to cancel out the effects of inlet skew and even overcome it near an endwall.
The use of secondary flow and Euler calculations in the presence of inlet skew has been shown by Birch to be suspect, as the viscous forces quickly act to reduce the high inlet relative dynamic head gained through the change in frame of reference close to the endwall. It is therefore essential for multi-stage calculations to include the effects of viscosity for reliable predictions to be achieved. The three-dimensional effects on flow angle in a repeating stage are summarised in Table 1. The first two columns (A and B) indicate the effects predicted by inviscid analysis or computation. Strong entry skew (which is clearly shown to be present in the Cranfield compressor, Figures 6 and 8) should lead to underturning at the endwalls (Effect A) whereas deflection of the entry shear flow should lead to overturning (Effect B), dependent on the magnitude of that deflection. Clearance effects (Effect C) tend to reinforce any underturning at the walls as is clearly evident in the initial calculations using the Dawes code (Figures 1 and 2) . However, the single blade row calculations of Birch (1984) showed that underturning due to inlet skew may be sharply reduced by viscous effects acting on high (relative) velocities (Effect D) and the present calculations confirm this effect in the repeating stage.
The resultant of all these effects is dependent on the individual magnitudes of the component effects. For typical stages, rotor casing and stator hub (cantilevered) sections will exhibit underturning at the endwalls, whereas rotor hub sections will show overturning. Shrouded stator hub sections (in the absence of blade boundary layer separation due to excessive diffusion rate) will tend to exhibit overturning. For the cases studied here, outlet air angles at stator casing sections show up as relatively neutral, the individual effects tending to cancel each other out.
CONCLUSIONS
A broad conclusion of the present work is that the interaction of the effects of viscosity, inlet skew, secondary flow and overtip leakage on the flow near the endwalls is complex. Horlock's (1994) conclusion for the deeply embedded stage (i.e. underturning at the annulus walls) was too sweeping because viscous effects were ignored. They must be included because of their influence in reducing inlet skew.
Full, unsteady 3D calculations are expected to be used in the future, but useful information about three-dimensional viscous effects for blading within multistage compressors can nevertheless be gained from relatively cheap steady 3D Navier-Stokes stage calculations. The present work shows that the Navier-Stokes methods can generally give quite good predictions of the flow in a repeating stage.
The presence of a downstream blade row has been shown to affect the performance of the upstream row due mainly to the way it influences the meridional streamline curvature and hence static pressure distribution of the upstream blade row. Modelling of a closely-coupled embedded blade row therefore requires the accurate specification of the streamline curvatures both at stage inlet and exit. Inlet conditions are usually obtained from a throughflow calculation that matches the experimental observations, while conditions at stage exit can be simulated using another blade row downstream of the study stage. This blade row need not have as fine a grid resolution as the blade rows under investigation. The typical exit boundary condition of a fixed hub or casing static pressure and simple radial equilibrium can then be imposed behind this dummy blade row and the streamline curvatures at exit from the study stage will therefore be more representative of those in the real machine environment.
The problems encountered in calculating the flow through the McKenzie compressor suggest that the Reynolds number must be high enough (Re > 105) to avoid high losses and low deflection and experiments performed with Reynolds numbers below this value are likely to produce results showing low levels of efficiency and pressure rise.
The limitations of simple turbulence models are to some extent holding back the use of fully 3D methods in design applications, where empiricisms gained over years of test data analysis are more easily incorporated into quasi-3D methods. However, with experience, the codes can still be used in their present state to formulate initiatives for better endwall blading design in multistage machines.
